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a b s t r a c t
A three-step model for the performance-based numerical simulations of the ﬁre response of steel–RC
two-layered beam-like composite structures is presented and validated. The ﬁrst step consists of the
determination of the evolution of temperatures in the structure's surroundings. Moisture and the heat
transfer through the RC layer and the conduction of heat over the steel layer are obtained in the second
step. In concrete, the transfer of water vapour, dry air, and free water is discussed as well as the
evaporation and liquefaction phenomena and the dehydration of concrete and its thermal and
mechanical degradation. Within the framework of the third step, a geometrically and materially non-
linear mechanical response of the structure is proposed accounting for interlayer slips and uplifts as well
as for various material-related phenomena such as the material hardening/softening and creep. The
governing equations are solved numerically. An efﬁcient, novel strain-based ﬁnite element formulation
is introduced for the mechanical analysis. Due to its generality and consideration of several different
possible non-linear material, geometrical, and interlayer contact phenomena and their couplings the
model can be of a use to a broader ﬁre science community for exploring the impact of different physical
parameters on the results of the addressed numerical simulations, thereby providing directions for
further research. In the paper a case of such a study is also demonstrated exploring the contribution of
the steel sheet and the ﬂexibility of the interlayer connection of a standard trapezoidal steel–RC slab to
its ultimate ﬁre resistance. A reasonable contribution of the sheet is proved if the stiffness ratio between
the integrated and the external tensile reinforcement of the RC plate is low provided that the contact
connection is sufﬁciently stiff.
& 2014 The Authors. Published by Elsevier Ltd. This is an open access article under the CC BY-NC-ND
license (http://creativecommons.org/licenses/by-nc-nd/3.0/).
1. Introduction
In structural ﬁre engineering, the so-called ‘performance-based
design’ approach has become the highly popular issue in recent
years. This novel approach enables us to predict the overall
structural ﬁre response much more realistically than the tradi-
tional ‘prescriptive-based’ one, thus providing a better reliability of
the corresponding designed ﬁre safety measures and their cost
efﬁciency. In the last couple of decades, signiﬁcant amount of
scientiﬁc work has been put into development of suitable proce-
dures for such a design. Nevertheless, a vast amount of problems
still remains insufﬁciently understood and a matter of intense
ongoing further investigation. Part of these are also performance-
based procedures for ﬁre response of steel–RC composite beam-
like structures.
The problem of the ﬁre response of a steel–RC two-layered
beam-like structure is complex from different perspectives. Most
of these originate from high-temperature material behaviour
(especially those of porous concrete) and contact interactions
(i.e. effect of the ﬂexibility and bearing capacity of the contact
connection between the steel and the RC layer). Connected to
considerations of contact interactions the review of the scientiﬁc
literature has shown that the contribution of the steel layer to the
overall structural ﬁre performance is, in the performance-based
ﬁre design procedures, frequently neglected. Instead, the standard
numerical models for RC structures ignoring the layered nature of
the beam are applied. These models are especially adopted when
the steel layer appears in a form of a thin sheet and is unprotected
against ﬁre, which is the case with the externally strengthened RC
structures such as tension face-plated, side-plated RC beams or
classic trapezoidal steel–RC ﬂoor slabs. Although omitting the
layer of a thin steel sheet from the numerical simulation may
seem to be reasonable at ﬁrst glance, it could result in a substantial
underestimation of the actual structural ﬁre resistance in some
cases [1]. Additionally, potentially life-threatening events, such as
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a sudden premature de-bonding (peel off) of the overheated steel
strengthening layer at unsupported edges, could be overlooked. To
avoid such unfortunate modelling uncertainties as much as
possible, numerical models accounting for both the RC and the
steel layers should be adopted. Only a few such models have been
presented so far (e.g. [1–3]). They are, however, still not sufﬁ-
ciently generalised to describe the behaviour of an arbitrary
composite beam in ﬁre. Their common assumption is that the
interlayer connection is only deformable in the tangential direc-
tion, while the contact in the normal direction is taken to be rigid
(e.g. [3,4]). In an ambient temperature structural analysis, a
signiﬁcant error may result from such an assumption, as analyses
have already shown [5] and a pronounced effect could be also
expected for high temperature conditions. In [5], the normal
contact stiffness between the layers of a steel–RC composite beam
is reported to signiﬁcantly inﬂuence the beam shear forces, which
does not always act in favour of the beam. In addition, although
not so clear a priori, a substantial effect of slips and uplifts
between the layers is also detected. It is therefore concluded that
the effect of the ﬂexibility of the interlayer connection both in the
tangential and in the normal direction should not be disregarded
in the design process.
The second important source of the high complexity of the
problem of steel–RC composite structures in ﬁre, however, is the
material models, especially those of concrete. Concrete is a highly
heterogeneous multi-phase material and consists of the solid
matrix representing the hardened cement paste and aggregates
as well as of pores. These are ﬁlled with water (liquid, adsorbed or
chemically bound), dry air, and water vapour. Due to the presence
of pressurised ﬂuids and their concentration gradients (these are
generated as a result of phase changes, i.e. water evaporation and
vapour condensation) and concrete permeability gradients, mass
ﬂuxes of water and gas inside the pores emerge during ﬁre.
Consequently, the heat is not only conducted but also convected
through the material what inﬂuences the evolution of the tem-
perature in concrete [1,2]. In addition, on account of the physical
and chemical decomposition of concrete, and of the stress,
induced by either external mechanical loads or by the restrained
thermal dilatations, substantial cracking occurs as well. Such
concrete damage results in the deterioration of the mechanical
moduli of concrete and the increase of its permeability. Combined
with a sufﬁciently high pore pressures, damage of concrete
eventually results in concrete spalling [6–8] and jeopardises the
overall structural integrity. In recent years several numerical
models were proposed trying to simulate these complex phenom-
ena. The ﬁrst group of these models (e.g., [9–11]) called the multi-
step models with uncoupled hygro-thermal and mechanical ana-
lyses is applicable if zero or negligibly small mechanical loading is
applied and where thermal dilatations of the concrete element are
not signiﬁcantly restrained, so that only small stress is induced in
the element during ﬁre. In lieu of these models, although at date
still a matter of intense ongoing research and validation studies,
some modelling proposals are also already available for more
general cases of arbitrary loaded concrete structures. In these the
hygro-thermal and mechanical phenomena are coupled fully [7,8],
or, they are connected indirectly [12,6].
In this paper the recent improvements in concrete hygro-
thermal constitutive models [11,12,6] and description of contact
interaction between the layers of two-layered composite struc-
tures [5,13] are brought together with the authors' previous work
on composite structures in ﬁre. Then, the joint modelling princi-
ples are exploited for the evolution and validation of a novel
numerical model for performance-based simulations of ﬁre
response of an arbitrary steel–concrete composite beam-like
structure. The new model is generalised in the sense that it
gathers submodels for all phenomena (highly non-linear material,
geometrical, and contact interlayer high-temperature responses)
and their couplings that are at date recognised as potentially
inﬂuential for the addressed problem. As such, the model can be of
a good use to a broader ﬁre research community for performing
extended parametric studies, i.e. studies exploring importance of
speciﬁc physical phenomena for efﬁciency and accuracy of the
numerical simulations. In this way the model also enables detec-
tion of the phenomena that can or cannot be neglected in the
models or accounted for in a simpliﬁed manner. An example of
such a study is presented in the ﬁnal part of the paper. This shows
a parametric study investigating the contribution of the thin steel
sheet and of the stiffness of the steel sheet–RC contact connection
to the overall structural ﬁre resistance of a standard trapezoidal
steel–RC ﬂoor slab.
2. The ﬁre analysis of a steel–RC beam-like structure
2.1. Preliminaries
Consider a planar straight RC beam ‘a’ of length La connected to
a steel layer ‘b’ of length Lb where La ¼ Lb ¼ L. The layers have
constant, yet arbitrary cross-sections, Aax and Abx (Fig. 1). They are
connected either with discrete connectors (e.g. bolts) or continu-
ously with an adhesive bonding layer of small thickness. As this
connection is not perfectly rigid in either of the two cases, the
longitudinal (here called the tangential) slips and the transversal
(here called the normal) uplifts can occur between the layers
during deformation. We assume that, at a speciﬁc time instant, the
mechanically loaded observed structure is suddenly exposed to
ﬁre loads causing it to deform signiﬁcantly until it collapses. We
call the time of collapse of the structure its ﬁre resistance. To
pursue deforming of the structure during ﬁre and to obtain its
ultimate ﬁre resistance, a three-step numerical procedure is
proposed later in the section.
2.2. The model
2.2.1. The ﬁrst step of the analysis: the ﬁre compartment
temperature analysis
In the ﬁrst step of the proposed ﬁre analysis, the time evolution
of the gas temperature in the compartment, surrounding the
structure, needs ﬁrstly be deﬁned. As the prime interest of the
present paper is to investigate effects of ﬁre on the thermo-
mechanical state within the structure, the standard ISO834 ﬁre
curve [14] sufﬁces to be selected for these purposes.
2.2.2. The second step of the analysis: the hygro-thermal analysis
In the second step of the ﬁre analysis, we observe the hygro-
thermal response of the structure. The heat transfer in the
homogeneous non-porous steel layer is modelled by standard
Fourier's law of heat conduction. In contrast, the model of heat
transfer in concrete, which is a heterogeneous material consisting
also of pores, ﬁlled with water, water vapour and dry air, should
additionally consider transfer of moisture. One of the models well
appropriate for the analysis of concrete-like heterogeneous mate-
rials is the model of Davie et al. [11]. The model accounts for
evaporation of free water, liquefaction of water vapour, and
dehydration of the chemically bound water, and comprises the
following three equations of the mass conservation of free water,
water vapour and dry air:
∂ðεFWρFW Þ
∂t
¼ ∇  JFW _EFWþ
∂ðεDρFW Þ
∂t
; ð1Þ
∂ðεG ~ρV Þ
∂t
¼ ∇  JV _EFW ; ð2Þ
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∂ðεG ~ρAÞ
∂t
¼ ∇  JA; ð3Þ
and the equation of the energy conservation:
ðρcÞ∂T
∂t
¼ ∇  ðk∇TÞðρcvÞ  ∇TλE _EFWλD
∂ðεDρFW Þ
∂t
: ð4Þ
In Eqs. (1)–(4) εiρi represents the mass concentration of phase i
(index i applies to phases of concrete: FW is free water, V is water
vapour and A is dry air), ~ρ i represents the mass of phase i per unit
volume of gaseous material (i¼ V ;A) and _EFW is the time rate of
evaporation of free water (including desorption). Furthermore, t
applies to time, ρc is the heat capacity of concrete, k is its thermal
conductivity, and ρcv is the energy transferred by ﬂuid ﬂow. The
latter can be neglected, if the thermal conductivity coefﬁcient of
concrete, k, is substituted by the corresponding value for moist
concrete, as, e.g. is advised in EC2 [15], and also adopted in this
paper. λE and λD, respectively, apply to speciﬁc heat of evaporation
and dehydration, T stands for the temperature, and Ji denotes the
mass ﬂux of phase i. The mass ﬂuxes Ji are to be expressed in terms
of pressure and concentration gradients implementing standard
Darcy's and Fick's laws. These and the rest of the constitutive
equations, adopted in the proposed hygro-thermal submodel, are to
be applied according to [11]. Nevertheless, an exception is to be made
regarding the calculations of time-dependent concrete permeability
representing the basic variable of Darcy's law. According to the
nature of the problem discussed in the case study of Davie et al.
[11], zero ‘mechanical’ (i.e. stress induced) effects are assumed in the
determination of the increase in concrete permeability and pressure-
driven ﬂuid ﬂows with time. The submodel [9] for the evolution of
concrete permeability in time is implemented correspondingly.
Nevertheless, for a general case of an externally strengthened RC
beam exposed to ﬁre, the stress induced effects are pronounced for
majority of cases and they need to be considered explicitly. One such
a proposal was introduced by Dwaikat and Kodur [6,12] and their
permeability submodel is adopted in the present paper.
According to Dwaikat and Kodur [2], in a pure hygro-thermal
model (such as the model by Davie et al. [11]) the permeability of
concrete is to be calculated by accounting for the gradients in the
initial permeability of concrete:
K0 ¼ Ktop
102y=h; yrdneu
ð102y=hÞð103ðydneuÞ=ðhdneuÞÞ; y4dneu
( )
: ð5Þ
In Eq. (5) Ktop is the initial permeability in the top surface of the
RC section, h denotes the depth of the concrete cross-section, y is the
distance from top of the cross-section, and dneu is the depth of the
neutral axis at service loads and ambient temperature. Furthermore,
at each time station t40, the permeability of concrete, K, is changed
additionally considering the current temperature of concrete, T, and
the averaged pressure of liquids and gas inside the solid concrete
matrix (i.e. pore pressure), Ppore [2,3]:
KðTÞ ¼ K0 100:0025ðTT0Þ
Ppore
P0
 0:368" #
: ð6Þ
Note that the above proposals, i.e. Eqs. (5) and (6), were designed
speciﬁcally for the evaluations of concrete permeability in ﬂexural
RC beams.
A further advantage of the proposal of Dwaikat and Kodur
[12,6] is that, simultaneously, the ﬁre induced concrete spalling
(if any) can be pursued as well implementing the criterion [2]:
por  Ppore4 f ct;T : ð7Þ
In Eq. (7) f ct;T is the tensile strength of concrete and por is the
porosity deﬁned as the fraction of the volume of voids over the
total volume of the material and for high temperatures calculated
as proposed in [11]. According to this criterion, spalling is said to
occur when the effective pore pressure exceeds the temperature
dependent tensile strength of concrete.
Note that because concrete spalling is not considered to be a
noticeable problem in practical examples shown throughout the
present paper, where only structures involving normal strength
concrete layers are presented, this topic will not be discussed
further in the sequel. Note also that the problem of concrete spalling
is at present date in the broader scientiﬁc community still not
understood sufﬁciently, mostly because the physical phenomena
involved in this complex process are hard to measure experimen-
tally. Thus, the available models dealing with this complex problem
Fig. 1. The two-layered composite beam. Undeformed and deformed conﬁgurations.
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(including the one implemented here) are still a mater of further
ongoing investigation.
To obtain the numerical solution of the presented equations of the
hygro-thermal submodel, a standard Galerkin-type of the ﬁnite
element method is employed as proposed in [11]. Once the solution
has been obtained, the data showing temperatures and, yet only for
cases of pronounced pore pressures and concrete spalling, pore
pressures and the spalled concrete areas are employed as the input
for the ﬁnal, mechanical part of the ﬁre analysis.
2.2.3. The third step of the analysis: the mechanical analysis
The objective of the mechanical analysis is to compute the
stress–strain state evolution in the composite beam during ﬁre.
The numerical model presented in this paper originates from a
recent work of the authors and their co-workers on the composite
structures in general and on ﬁre safety engineering in particular.
Hence, solely the fundamental novelties of the proposed model
will here be presented in detail and adequate references will be
given where appropriate.
The (X,Z)-plane of a ﬁxed spatial right-handed Cartesian coor-
dinate system ðX;Y ; ZÞ with the orthonormal base vectors EX , EZ ,
and EY ¼ EZ  EX and with the origin pinned at an arbitrary ﬁxed
reference point O is chosen as the plane of the possible deforma-
tion of the structure (Fig. 1). In addition to the global coordinate
system, each layer is also parametrised by its own material
coordinate system ðxi; yi; ziÞ, i¼a or b with the axis xi declared as
the layer's reference axis. The material coordinate system is
deﬁned by its origin Oi and its orthonormal vectors eit , e
i
m, and
ein, being tangential, out-of-plane and normal to the deformed axis
of the beam, respectively. The basic feature of the material
coordinate system is that its coordinate axes follow the deforma-
tion of the layer and that, therefore, material coordinates of a
particular particle do not change during the deformation. Further-
more, we deﬁne that, in the initial undeformed state, the positions
of both reference axes xa and xb, respectively, of layers a and b
coincide and that they both lie on the vertical symmetry plane of
the beam; note, however, that an arbitrary initial position of the
origin relative to the height of the beam can be chosen. If we
further decide that, in the undeformed state, the material axes
coincide also with the spatial axes, we have xa  xb  X  x,
ya  yb  Y  y, and za  zb  Z  z. Once the position of an indivi-
dual particle as well as its thermo-mechanical ﬁelds is described in
terms of the material coordinates, the Lagrangian description of
the solid body deformation can be employed for the purposes of
the model derivation.
In what follows, each of the two layers of the observed steel–RC
composite beam will be modelled separately, assuming the geo-
metrically exact planar beam theory of Reissner [17] with negli-
gible effects of shear deformations. The related governing
equations of layer ‘i’ (i¼ a; b) are
1þui0 ð1þεiÞ cos φi ¼ 0; ð8Þ
wi
0 þð1þεiÞ sin φi ¼ 0; ð9Þ
φi
0 κi ¼ 0; ð10Þ
Ri0XþPix ¼ 0; ð11Þ
Ri0ZþPiz ¼ 0; ð12Þ
Mi
0 ð1þεiÞQiþMiy ¼ 0; ð13Þ
Nieff ¼NiþNipore ¼
Z
Aix
σiðDiσ ; TÞ dAixþNipore; ð14Þ
Mieff ¼MiþMipore ¼
Z
Aix
ziσiðDiσ ; TÞ dAixþMipore: ð15Þ
In Eqs. (8)–(15) ðÞ0 denotes the derivative with respect to
material coordinate x, ui, wi, and φi, respectively, apply to the
X-displacement, the Z-displacement and the rotation of the
reference axis of layer i, and εi and κi denote its extensional and
bending strains, respectively. Furthermore, RXi and RZi are, respec-
tively, the X and the Z components of the cross-sectional stress-
resultant with respect to the ﬁxed basis (EX , EY , EZ), and Ni, Qi, and
Mi are, respectively, the cross-sectional axial force, shear force, and
bending moment. Note that RXi and RZi relate to Ni and Qi as follows:
Ni ¼ RiX cos φiRiZ sin φi and Qi ¼ RiX sin φiþRiZ cos φi. Aix is the
area of the cross-section of layer ‘i’ and dAix is its differential. Note
that the area of the concrete portion of the cross-section varies
with time due to cracking, and, in some cases, due to concrete
spalling. In fact, when concrete spalling is detected during the
analysis, which often occurs in high-strength wet concrete struc-
tures, the area of the RC layer Aix has to be reduced accordingly
(see, e.g. [1]). In Eqs. (14) and (15), σi and Diσ are, respectively, the
stress and the mechanical strain of a generic particle of layer ‘i’,
and the relationship σiðDiσ ; TÞ is the material constitutive law of
concrete/steel at elevated temperatures. The latter is in the present
paper taken from standards [15] (for concrete) and [18] or [19] (for
steel) with additionally accounting for elastic reloading and kine-
matic hardening of cyclically loaded and reloaded material [20]. In
obtaining strain increments, we assume that the principle of
additivity of strains holds [3,1,21]. This enables us to deﬁne each
type of strain separately. Unconstrained temperature strains of
concrete and steel are obtained from formulae in [15,18]. As
recommended in [22], creep strain of steel should be accounted
for separately if the model proposed by [19] for the constitutive
relationship σiðDiσÞ of steel is selected. By contrast, if the material
law for steel is adopted in terms of [18], the creep strain should be
an integral part of plastic strain. Finally, if we implement the EC2
constitutive law of concrete [15], the creep and the transient
deformations of concrete have to be considered as separate items
in the strain additivity principle, as discussed by Bratina et al. [21].
Nipore and Mipore, given respectively in Eqs. (14) and (15),
represent the contributions of the pore pressures to the total
stress of the layer ‘i’ (the well known Terzaghi's principle). The
contributions are zero for a non-porous steel layer. Furthermore,
for normal strength RC beam structures, the contribution of Napore
and Mapore is very small and can be usually neglected [16]. PiX , PiZ
and MiY represent the X, Y, and Z components of the traction
vectors per unit of the reference axis of layer ‘i’, respectively; Pi
and Mi are the static equivalents of surface and volume forces pi
and vi (Fig. 1) after having been reduced to the layer's reference
axis (i¼a,b):
Pi ¼
Z
Cix
pi dcixþ
Z
Aix
vi dAix ¼PiXEXþPiZEZ ; ð16Þ
Mi ¼
Z
Cix
ρi  pi dcixþ
Z
Aix
ρi  vi dAix ¼MiYEY : ð17Þ
In Eqs. (16) and (17), Cix is the contour of the layer's cross-section
(Fig. 1) and dcix is its arc differential. ρi is the cross-sectional position
vector of a speciﬁc particle of layer ‘i’. The X-, Y- and Z-components of
the traction vectorsPi andMi are made from their external (ex) and
contact (cn) contributions: PiX ¼Piex;XþPicn;X , PiZ ¼Piex;ZþPicn;Z , and
MiY ¼Miex;YþMicn;Y . In the sequel we only discuss the contact
traction vectors.
During the deformation of a steel–RC composite beam, the
layers can locally slip and/or separate. When large deformations
are expected and, consequently, the geometrically non-linear
analysis is performed, the slips and uplifts can be large. In such a
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case, the contact constitutive equations if written in terms of the
global coordinate system (EX , EY , EZ) are no longer correct [23]. A
substantial improvement is reached, if the global coordinate basis
is substituted by a ‘mean contact surface basis' [13] having the
normal and the tangential vectors at the contact as the base
vectors ent , e
n
n and e
n
m (Fig. 1). The latter are deﬁned as a weighted
mean value of the natural basis of layers ‘a’ and ‘b’:
ent ðxÞ ¼
ζeat ðxÞþ 1ζ
 
ebt ðxÞ
Jζeat ðxÞþ 1ζ
 
ebt ðxÞJ
¼ entXðxÞEXþentZ ðxÞEZ ; ð18Þ
ennðxÞ ¼
ζeanðxÞþ 1ζ
 
ebnðxÞ
JζeanðxÞþ 1ζ
 
ebnðxÞJ
¼ ennX ðxÞEXþennZðxÞEZ ; ð19Þ
enmðxÞ ¼ ennðxÞ  ent ðxÞ ¼ ðennZðxÞentXðxÞennXðxÞentZ ðxÞÞEY ; ð20Þ
where JJ is the Euclidean vector norm and ζA ½0;1. In this
paper, the value ζ ¼ 0:5 will be considered in all the analyses. Note
that vectors enn and e
n
t cannot always be determined uniquely by
the above equations, if ean ¼ ebn and eat ¼ ebt ; however, these
conditions present no limitations in solving practical problems.
As it will be shown in the sequel, slips and/or uplifts between
layers ‘a’ and ‘b’ can be presented as the difference of displacements
between their deformed conﬁgurations. Assume that Pa and Pb are
two coincident material points (particles), which, in the undeformed
state, stay in contact, hence both at the same position ðx; y; zÞ. After
deformation of the structure has occurred, their positions with
respect to the global coordinate system change and are no longer
equal. Their new position vectors are now (Fig. 1)
Ri ¼ XiEXþYiEYþZiEZ ; ð21Þ
Xi ¼ xþUiXðx; zÞ; ð22Þ
Zi ¼ zþUiZ ðx; zÞ: ð23Þ
Since only in-plane deformations of the structure are dealt with, the
Y coordinate of the particle remains unchanged after deformation,
i.e. Yi ¼ y. In Eqs. (21)–(23), the spatial coordinates Xi, Yi, and Zi
depend on the X- and the Z-components UXi and UZi of the displace-
ment vector Ui ¼ RiRi0 of the particle in contact (Fig. 1). The ‘mean’
components, Ui;nt and U
i;n
n , are related to their spatial components
UX
i and UZi by
Ui ¼UiXðx; zÞEXþUiZ ðx; zÞEZ ¼ Ui;nt ðx; zÞent ðxÞþUi;nn ðx; zÞennðxÞ; ð24Þ
UiXðx; zÞ ¼ uiðxÞþz sin φiðxÞ; ð25Þ
UiZðx; zÞ ¼wiðxÞþz cos φiðxÞ: ð26Þ
After the displacement vectors Ua and Ub have been obtained,
the vector of slips/uplifts between the observed particles Pa and Pb
can be derived as
ΔR¼ Rbðx; zÞRaðx; zÞ ¼Ubðx; zÞUaðx; zÞ ð27Þ
ΔR¼Δnðx; zÞent ðxÞþdnðx; zÞennðxÞ; ð28Þ
Δnðx; zÞ ¼Ub;nt ðx; zÞUa;nt ðx; zÞ; ð29Þ
dnðx; zÞ ¼ Ub;nn ðx; zÞUa;nn ðx; zÞ: ð30Þ
Δn introduced in Eqs. (27)–(30) represents the ‘mean’ slip
between the two initially coincident points in the tangential
direction ent ðxÞ; analogously, dn is the ‘mean’ uplift in the direction
ennðxÞ. The magnitudes of the contact tractions are assumed to
depend on Δn and dn:
pa;ncn ¼ pb;ncn ¼
pa;ncn;t
pa;ncn;n
( )
¼ f ðΔ
nðx; zÞ; dnðx; zÞ; TÞ
gðΔnðx; zÞ;dnðx; zÞ; TÞ
( )
: ð31Þ
In structural engineering applications, it often sufﬁces to
assume that the tangential contact traction depends essentially
only on slip, while the normal contact traction depends only on
uplift [24]. Then the contact law given in Eq. (31) may be largely
simpliﬁed, resulting in
pa;ncn ¼ pb;ncn ¼
pa;ncn;t
pa;ncn;n
( )
 FðΔ
nðx; zÞ; TÞ
Gðdnðx; zÞ; TÞ
( )
: ð32Þ
Note that the actual mathematical form of the contact laws,
described by the functions F and G, is to be determined by separate
experiments for the actual type of the connection. After inserting
Eq. (32) into Eqs. (16) and (17), we end up with
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In Eq. (33)
R
s…ds refers to a line integral with respect to
parameter s (s¼ ½0 Lcontact) along the contact line (Fig. 1). Prior to
inserting the derived components of the contact traction vectors
deﬁned in Eq. (33) into Eqs. (11)–(13), these should be adequately
transformed into the global coordinate basis.
The ﬁnal system of equations of the proposed mechanical
submodel is solved numerically applying the strain-based FE
method as proposed in Kolšek et al. [1]. If, in any of the layers,
its tangent constitutive matrix of the cross-section becomes zero,
the cross-section is said to have reached its ultimate bearing
capacity. Similarly, when the singularity of the global tangent
stiffness matrix of the whole structure is reached in the course of
the FEM analysis, the structural system is said to have reached its
ultimate bearing capacity.
3. Veriﬁcation of the model and numerical examples
In the following subsections, the present model will be applied
to analyses of some practical examples of steel–RC composite
beam-like structures. Firstly, the veriﬁcation of the proposed
model will be performed separately for the hygro-thermal and
the mechanical part of the model.
Since some veriﬁcations of the adopted hygro-thermal sub-
models have been already carried out in [1,6], they will not be
repeated here. In [1], the experiment of Khan [25], investigating a
high temperature pore pressure build-up behaviour in the con-
crete wall of a reactor containment vessel, is numerically simu-
lated and a good agreement between the experimental and
numerical results is demonstrated. This problem appears to be
rather simple because no mechanical load is applied prior to
heating and negligible stresses only evolve in concrete due to
thermally induced material dilatations. The permeability of con-
crete in such a case can be assumed to evolve as proposed in [9].
As already discussed in Section 2.2.2, the stresses induced in a
composite structure prior and/or during ﬁre should be accounted
for in the permeability calculations. In a multi-step numerical
model such as proposed in this study, this can only be achieved
indirectly, using the empirically supported permeability model
such as the one of Dwaikat and Kodur [6,12]. An experimentally
supported validation of the submodel of Dwaikat and Kodur is
presented in [6,12].
The veriﬁcation of several aspects of the mechanical submodel,
proposed by the present authors, has also been already made in their
recent papers [3,1,21,22]. One of these aspects is, e.g. the question
whether a planar Reissner's beam model is sufﬁciently accurate to
simulate the behaviour of RC beams at high temperatures. Together
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with the suitability of the suggested principle of additivity of strains
and corresponding selected material models this was ﬁrst demon-
strated in [21] where the results for the ﬁre-exposed centrically
loaded RC column are compared against experimental results of Lin
et al. [26]. Later on, the suitability of these principles was additionally
demonstrated on a case of a plain steel beam discussing two
suggested submodels for high-temperature mechanical and creep
strains of steel, i.e. [18] and [19]. In [3] the suitability of the Reissner's
model and of the employed principle of additivity of strains was
shown once more, this time for the steel–concrete composite beam
with ﬂexible tangential interlayer connection. The numerical results
were here compared against experimental data of Wainman and
Kirby [27].
In the present study, the validation of the present improved
mechanical model accounting for both tangential and normal
ﬂexibility of the contact will be carried out on the composite plate
of Guo and Bailey [28]. Unfortunately, in the experiments per-
formed by Guo and Bailey [28] slips and uplifts were not
measured, in fact – to the authors' knowledge – they have not
been observed elsewhere; thus no fully experimentally supported
comparison of this fundamentally novel aspect of the present
improved model could be displayed. Instead, the veriﬁcation of the
proposed contact submodel is made by comparing the present
numerical results with the corresponding numerical results of a
3D solid model set in the commercial FEMA software LUSAS.
In Section 3.2 the veriﬁcation of the model is followed by a
demonstration of the present model's practical application. The
response of a trapezoidal RC plate strengthened externally with a
thin steel sheet and subject to ﬁre is shown, applying different
amount of the tensile reinforcement placed in each rib of the RC
deck, and different tangential and normal contact stiffness of the
interlayer connection.
We ﬁnd it convenient for the reader to collect some basic
assumptions made in the examples to follow. Since these meet the
assumptions already gathered in [1] (see the preliminary part of
Section 3 of [1]) they will not be repeated in this paper. It must be
pointed out, however, that, in contrast to [1], the connection
between the steel and the RC layer in the hygro-thermal analysis
is, in the present paper, not considered to be perfect during ﬁre,
since an interlayer uplift is assumed to evolve. In addition, two
constitutive laws of steel [19] are adopted in the present study, i.e.
material laws [19] and [18].
3.1. Veriﬁcation of the proposed model
3.1.1. The composite plate of Guo and Bailey
Our ﬁrst numerical example is the RC plate combined with a
thin trapezoidal steel sheet subjected to 16-point loading. The
plate was analysed experimentally by Guo and Bailey [28]. Their
results are used for the validation of the mechanical part of the
present numerical model.
In setting the numerical model of the plate, we assume a purely
planar bending of the plate, so that it can be modelled as a three-
span beam (see Fig. 2a and b) subject to a 4-point loading P and
some speciﬁed ﬁre conditions (Fig. 2c). The cross-section of the
beam is taken to be equal to the cross-section of one rib (Fig. 2b).
Two of the Guo and Bailey's examples [28] are analysed. We denote
them by GB-1 and GB-2. In the ﬁrst example (plate GB-1), the load
magnitude is P¼4.5 kN. In the second example (plate GB-2), we
assume P¼2.75 kN.
The material characteristics of the RC deck and the steel sheet at
room temperature as reported in Guo in Bailey [28] and also adopted
in the present numerical analysis are as follows: the yield strength of
steel of the trapezoidal sheet is f y;20 ¼ 37:8 kN=cm2, the yield
strength of steel of the reinforcing bars is f ry;20 ¼ 65 kN=cm2, and
the strength of concrete f c;20 for cases GB-1 and GB-2, respectively, is
3.8 kN/cm2 and 4.0 kN/cm2. The rest of material data at room
temperature, not provided in [28] but essential for the analysis, are
selected as follows: the elastic modulus of steel of the trapezoidal
sheet is Es;20 ¼ 2:1 104 kN=cm2, the elastic modulus of steel of the
reinforcing bars is Ers;20 ¼ 2:1 104 kN=cm2, and the secant elastic
modulus of concrete is Ec;20 ¼ 3:1 103 kN=cm2. The material law of
steel at elevated temperatures is taken to be bilinear for steel along
with the corresponding reduction coefﬁcients in terms of [19].
Note that, as also reported in [22], the phenomenon of creep in
steel is not included in this material model. Therefore, we have to
include creep of steel explicitly, here using the model of Williams-
Leir [29] for steel class Austen 135. For capturing essential material
phenomena in concrete at elevated temperature, we follow Bratina
et al. [21] and adopt the material constitutive laws presented in
[15,30,31]. Furthermore, Guo's law [4] for the room temperature
law of contact for the tangential direction is assumed in the
analysis (Fig. 2d). Since in [4] no indication is given on how this
contact law should be modiﬁed for elevated temperatures, we
introduce only a very simple assumption that the maximum
strength of the contact is reduced by factor A given in Table 1. A
good agreement between experimental and numerical results,
presented in the subsections to follow, shows this one to be a
reasonable assumption. In addition, no information is given in [4]
regarding the contact law in the normal direction. Yet, in terms of
the magnitude error in the plate midspan deﬂection, observed in
the present example, this is found to be irrelevant.
Our analysis starts with the determination of the time- and
space-dependent temperature ﬁeld in the plate area T3T5 (see
Fig. 2a). The pore pressures, which could evolve along the contact
between the steel sheet and the concrete plate during ﬁre, are in
the present analysis taken as negligible. This assumption is
plausible because the steel and the RC layer soon separate from
each other during the deformation. In addition, the concrete zone
around the contact is, in these types of structures, in tension
initially and, therefore, damaged. Thus, a substantial increase of
the concrete permeability is expected to evolve in this area.
Moreover, due to its low thickness and due to a high thermal
conductivity of steel, the trapezoidal sheet represents a negligible
thermal protection of the RC deck. Thus, it can be assumed that the
temperature of the steel sheet is approximately constant across its
thickness and nearly equal to the temperature of the lower surface
of the RC plate. In view of the above assumptions, only the RC part
of the cross-section is treated in the hygro-thermal analysis
neglecting the thermal effects of the steel sheet. See Fig. 2b for
the details of the corresponding hygro-thermal boundary
conditions.
In Guo and Bailey [28], no information on the hygro-thermal
properties of concrete, being crucial in heat andmass transfer analyses
of concrete structures, is given explicitly. Thanks to their remark that a
normal strength concrete was used in the experiments, the following
hygro-thermal data can be estimated: initial content of water vapour
in air within the concrete pores ~ρV ;0 ¼ 0:0111 kg=m3 (RH0 ¼ 60%), air
water vapour content at the boundary ~ρV ;1 ¼ 0:0074 kg=m3
(RH0 ¼ 40%), free water content at full saturation of air inside
concrete pores and at ambient temperature ρsatFW ;0 ¼ 90 kg=m3, initial
porosity of concrete p0or ¼ 0:12, and initial concrete permeability
K0 ¼ 3 1015 m2.
A comparison between the measured and the simulated
development of temperatures in time is shown in Fig. 3a and b.
The variations of temperatures at the measuring positions T15,
T16, T19, and T20, T21, T22 are displayed (the positions of the
embedded thermocouples are shown in Fig. 2b). The agreement
between the results is generally good, although some signiﬁcant
discrepancies can be observed at positions T19 and T22 (these are
the positions close to the heated surface). At the positions T19 and
T22, the experimentally and numerically deﬁned graphs of Fig. 3a
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and b match approximately up to 5 min of the observed time. The
curves at the position T21 match much better – the differences
start growing after 20 min, but remain small. Recall that, in
the hygro-thermal numerical model employed in this paper, the
thermal parameters of concrete from EC2 [15] are used (see the
corresponding assumption of the model in Section 2.2.2). These
correspond well to moist concrete only and, therefore, are appro-
priate for the proposed model only as long as the concrete pores
are at least partially ﬁlled with water. The observed deviations of
the results for the positions T19, T21, and T22 are, thus, most likely
due to the absence of free water around these positions. Fig. 3d
conﬁrms this speculation revealing that the area around the
positions T19 and T22 appears in the numerical simulation to
become completely dry after 10 min of the ﬁre already. For the
position T21 the same is observed after 20 min have elapsed.
In the mechanical subanalysis, two magnitudes of the four-point
loading, i.e. P¼4.5 kN (plate GB-1) and P¼2.75 kN (plate GB-2), are
observed. The comparison between the experimental and numerical
results for the time-dependent midspan deﬂection for the two cases is
shown in Fig. 4. Prior to the temperature of the steel sheet reaches
500 1C, which occurs at around 15min of ﬁre, see Fig. 3c, a good
agreement between the experimental and numerical results can be
observed for both load levels. For the lower load level, a good
agreement is also observed throughout the rest of the time of the ﬁre.
However, somewhat higher and increasing discrepancies are observed
for the higher load level. Given that temperature-dependent properties
of steel of [19] were used, such results are expected. Namely, and as
reported in [22], the relevant data in [19] are only valid for lower load
levels. Some discrepancy may likely to occur due to the neglected
transversal shear capacity of the plate, which cannot be considered by
the present beam model.
3.1.2. Externally strengthened elastic cantilever beam at ambient
conditions
The goal of the present example is a further validation of the
mechanical submodel, presented in Section 2.2.3. This example is
focused on the validity of the proposed contact submodel. We
investigate a two-layered composite cantilever beam shown in
Fig. 5. For simplicity both layers are taken to be made of elastic
homogeneous materials and subject to a constant uniformly
distributed traction qZ¼0.28 kN/m at ambient temperature. The
elastic modulus of layer ‘a’ is Eac;20 ¼ 3:1 103 kN=cm2; the elastic
modulus of layer ‘b’ is Ebs;20 ¼ 2:1 104 kN=cm2. The interlayer
connection is also taken to behave linearly having the stiffnesses
kX ¼ kZ ¼ 0:25 kN=cm3, so that pa;ncn;t ¼ 0:25Δn and pa;ncn;t ¼ 0:25dn.
The ultimate material and contact strengths are taken to be
unbounded. Furthermore, both layers are ﬁxed at the left end
and free at the right. In the mechanical analysis, two separate
numerical models are engaged, i.e. the present 1D beam model,
proposed in Section 2, and a 3D solid numerical model set in the
LUSAS ﬁnite element analysis software. There the layers are
modelled by the HX9M ﬁnite elements (LUSAS 3D isoparametric
solid FEs) and the connection between the layers is modelled
using the JNT4 FEs (LUSAS 3D joint FEs connecting two nodes by
three springs in the local x, y, and z directions). A comparison
between the results for displacements and internal forces of the
two models is shown in Table 2. The results are in an excellent
agreement. This completes the validation of the proposed model
Fig. 2. Composite plate of Guo and Bailey. (a) Test assembly. (b) Cross-section of the beam model with displayed hygro-thermal boundary conditions. (c) Fire scenario.
(d) Slip/uplift vs. corresponding magnitude of the shear contact surface force at ambient temperature. The denotations T1 , hqc, hqs , and ϵress , respectively, apply to the
temperature of the surrounding compartment, the convection coefﬁcients at the concrete and the steel surface of the structure, and the emissivity of the steel surface as they
were accounted for in the calculations of thermal ﬂow boundary conditions.
Table 1
Proposed values of parameter A for elevated temperatures.
T (1C) r100 200 300 400 500 600 700 Z800
A 1 1 0.9063 0.8567 0.5909 0.3911 0.1964 0.1472
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and conﬁrms the suitability, accuracy, and numerical efﬁciency of
the proposed 1D numerical model.
3.2. Parametric study of ﬁre resistance of steel–RC trapezoidal
composite plate
In the parametric study to follow we investigate the effect of
the tensile reinforcement and the contact stiffness on the ﬁre
resistance of a simply supported steel–RC trapezoidal composite
plate exposed to ISO 834 [14] ﬁre conditions. A typical rib of the
slab, shown in Fig. 6a and b, is analysed by the present beam
model. In addition to the steel trapezoidal sheet, a tensile
reinforcement bar is placed in each rib of the RC deck. In Fig. 6b
the number of the bars per rib is denoted by n and the diameter of
an individual bar is marked by ϕr.
In the hygro-thermal step of the ﬁre analysis, the same assump-
tions are adopted for consideration of heat and mass transfer as in
Section 3.1.1; thus, only the concrete part of the cross-section is
Fig. 3. Composite plate of Guo and Bailey [28]. Time evolution of temperatures at positions of embedded thermocouples (a) T20, T21, T22 and (b) T15, T16, T19. Cross-
sectional distribution of (c) temperature and (d) free water content.
Fig. 4. Composite plate of Guo and Bailey [28]. Time–deﬂection curves for two levels of mechanical point loading.
Fig. 5. Externally strengthened elastic cantilever beam at ambient temperature. Geometric characteristics.
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modelled. The hygro-thermal properties of a standard normal
strength concrete are chosen as in Section 3.1.1. Results of the
analysis for the cross-sectional temperature ﬁelds at various times
are shown in Fig. 6c. The predicted temperature ﬁelds are used as
the input data for the ﬁnal, mechanical step of the ﬁre analysis.
The material data at room temperature are taken as follows: the
yield strength of steel of the trapezoidal sheet is f y;20 ¼ 28 kN=cm2,
the compressive strength of the concrete is f c;20 ¼ 3 kN=cm2, and the
yield strength of steel of the rebars is f ry;20 ¼ 40 kN=cm2. The high-
temperature stress–strain law for steel follows EC3 [18]. This one is to
be contrasted to the material model of steel offered in [19] and also
employed in Section 3.1.1, where creep of steel is considered explicitly.
Note that in the EC3 material model, the creep strain in steel is
integrated within the plastic strain. Thus creep should not be treated
in an additive manner in this example. The stress–strain relationship
for concrete with siliceous aggregates is chosen in the present paper
and the corresponding data are taken from EC2 [15]. Following the
recommendations of Bratina et al. [21] the effects of creep and
transient strains in concrete are treated explicitly, see [30,31]. The
contact constitutive law at room temperature is selected as
pa;ncn;tðx; zÞ ¼ Aτcn;t;20;maxð1eBΔ
n Þ; ð34Þ
pa;ncn;nðx; zÞ ¼ Aτcn;n;20;maxð1eBd
n Þ; ð35Þ
with τcn;t;20;max and τcn;n;20;max denoting the tangential and the normal
ultimate strength of the contact at room temperature, respectively.
These strengths will be in the upcoming subsections chosen as
suitable parameters in parametric analyses. Observe that the math-
ematical description of the contact law in Eqs. (34) and (35) is chosen
with an aim to getting eloquent and vivid conclusions of the
presented parametric study. The selected law is similar but not
identical to that of Huang et al. [32]. Nevertheless, the proposal
seems to represent realistic situations well. The values of parameters
A and B from Eqs. (34) and (35) are presented in [32].
In what follows, two parametric studies are performed con-
sidering (i) different ratios of tensile reinforcement and (ii)
different contact stiffnesses.
3.2.1. Inﬂuence of tensile reinforcement ratio
We ﬁrst study the effect of the ratio of the tensile reinforce-
ment on the ﬁre response of the slab. The tensile reinforcement
ratio is in this paper deﬁned as the ratio between the cross-
sectional area of the rebars, installed within the ribs of the
trapezoidal RC deck, and the cross-sectional area of the compo-
sitely attached steel sheet. Three different cases will be studied:
(i) case S1–O with two rebars of diameter ϕr ¼ 14 mm per rib and
the tensile reinforcement ratio 1.06, (ii) case S2–O with two rebars
ϕr ¼ 10 mm per rib and the corresponding tensile reinforcement
ratio 0.54, and (iii) case S3–O with one rebar ϕr ¼ 8 mm per rib
and the tensile reinforcement ratio 0.17. The results of the three
composite slabs will also be compared with the results of cases
S1–N, S2–N, and S3–N representing the plain RC slabs, having the
Table 2
Elastic two-layered cantilever beam at ambient conditions. A comparison between numerical results of (A) the 3D solid LUSAS FEM numerical model and (B) the present
numerical model.
x (cm) uaub (102 mm) wawb (102 mm) Na (kN) Nb (kN) Qa (kN) Qb (kN)
(A) (B) (A) (B) (A) (B) (A) (B) (A) (B) (A) (B)
0 0 0 0 0 11.4 11.3 11.4 11.3 1.1 1.1 1.1 1.1
50 1.8 1.8 1.2 1.2 10.9 10.8 10.9 10.8 0.8 0.8 1.1 1.1
100 3.0 2.9 2.9 2.9 9.8 9.7 9.8 9.7 0.6 0.6 1.0 1.0
150 3.6 3.5 3.9 3.9 8.2 8.1 8.2 8.1 0.5 0.5 0.9 0.9
200 3.8 3.7 4.3 4.3 6.5 6.4 6.5 6.4 0.4 0.4 0.7 0.7
250 3.8 3.7 4.3 4.3 4.8 4.7 4.8 4.7 0.4 0.4 0.5 0.5
300 3.6 3.6 3.9 3.9 3.1 3.1 3.1 3.1 0.3 0.3 0.3 0.3
350 3.4 3.4 3.1 3.1 1.5 1.5 1.5 1.5 0.2 0.2 0.1 0.1
400 3.3 3.3 1.9 1.9 0 0 0 0 0 0 0 0
Fig. 6. Parametric study of a simply supported composite RC plate with trapezoidal steel sheet. (a) Geometric characteristics of the problem. (b) Cross-section and boundary
conditions for the hygro-thermal part of the analysis. (c) Distribution of temperatures over the concrete part of the cross-section at chosen times. The denotations T1 , hqc, hqs ,
and ϵress , respectively, apply to the temperature of the surrounding compartment, the convection coefﬁcients at the concrete and the steel surface of the structure, and the
emissivity of the steel surface as they were accounted for in the calculations of thermal ﬂow boundary conditions.
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same geometric, material, and loading characteristics as the plates
S1–O, S2–O, and S3–O, yet with no external tensile reinforcement
(i.e. having no steel sheet). The following loading data are employed.
In case S1 each rib of the RC slab is subjected to traction
qZ ¼ 4:62 kN=m, distributed uniformly along the whole length of
the rib. In cases S2 and S3, the tractions are qZ ¼ 2:57 kN=m and
0.86 kN/m, respectively. In any of the three cases, the selected loads
represent approximately 90% of the elastic bearing capacity of the
corresponding plain RC slabs S1–N, S2–N, or S3–N. Note that the self-
weight of the slab is included in the given load magnitudes.
Fig. 7 shows the evolution of the midspan deﬂection for cases
S1–O, S1–N, S2–O, S2–N, S3–O, and S3–N. The comparison
between the graphs for cases S1–O and S1–N, when the tensile
reinforcement ratio is high, shows that the ﬁre resistances of the
RC deck with and without steel sheet are similar. About 8 min
bigger ﬁre resistance of plate S2–O is observed compared to S2–N.
Very different ﬁre resistances are experienced in slabs S3–O with
the minimal tensile reinforcement ratio and S3–N. As high as half
an hour difference in the ﬁnal ﬁre resistances is estimated. The
rational explanation for such an observation is given below.
The transition between the approximately linear part of the load–
deﬂection curves, see Fig. 7, and the highly non-linear steep part of
the curves occurs when the ﬁrst point of the steel sheet reaches the
yielding state. Once the transition point is passed, the yielding zone
gradually extends from the exposed bottom towards the upper edge
of the steel sheet cross-section, and only after a substantial part of
the cross-section of the steel sheet has yielded, the reinforcing bars
start yielding, too. The midspan deﬂection of the slab suddenly
increases and continues to grow rapidly at a nearly constant
temperature (observe the almost vertical segments of the graphs in
Fig. 7). It is obvious that the failure of the composite slab largely
depends on the time the rebars start to yield.
The time also depends on how big a portion of the overall tensile
stress induced in the plate is overtaken by the rebars. In the cross-
section of a steel–RC composite plate, the distribution of the tensile
stress between the rebars and the steel sheet mainly depends on the
ratio of their rigidities. If the concrete part of the cross-section is
reinforced stronger (such as in cases S1 and S2), then the tensile
stress is mainly equilibrated by the reinforcing bars and, therefore,
the RC slab does not rely much on the steel sheet. This is expected to
be so, since the contribution of the steel sheet to the tensile bearing
capacity of the composite plate is with time even smaller because the
steel sheet temperatures are always higher than the temperatures of
the steel rebars. A different conclusion, however, can be drawn for
case S3. In this case the cross-sectional area of the rebars is minimal.
Consequently, most of the tensile stress is taken by the steel sheet,
yet this does not change signiﬁcantly even if the temperature in the
sheet gets substantially higher.
3.2.2. Inﬂuence of tangential and normal contact stiffness
We now focus on the inﬂuence of the interlayer contact stiffness
on the ﬁre resistance of the composite plate. Plate S2–O is only
observed and the effects of different values of contact stiffness are
investigated. The inﬂuence of tangential contact stiffness τcn;t;20;max is
ﬁrst analysed. The initial value of τcn;t;20;max is set to 0.59 kN/cm. This
value is then largely increased to model a rigid contact (S2–Oa), then
further reduced ﬁrstly to one-half (S2–Ob) and then to one-ﬁfth of
the initial value (S2–Oc). In the normal direction, the contact stiffness
remains constant: τcn;n;20;max ¼ 0:59 kN=cm.
The time–midspan deﬂection curves are shown in Fig. 8a. The
numerical results show that large slips evolve between the steel
sheet and the RC layer for cases S2–Oa and S2–Ob. Nevertheless, as
long as the failure of the contact does not take place prior to
instability of at least one of the concrete or steel cross-sections, or
the global structural instability occurs, such a contact stiffness
reduction seems to have a very small impact on the evolution of
the deﬂections. Observe that the curves for S2–O, S2–Oa, and
S2–Ob in Fig. 8a almost coincide.
Different conclusions can be, however, made for the case where
the contact is highly ﬂexible, such as in case S2–Oc. Then slips
between the steel and the RC layer become critical at about 14 min
of ﬁre, when the tangential contact starts failing. It is reasonable to
assume that the failure of the contact in the tangential direction
triggers the normal contact failure also (in a form of an uplift), and
vice versa. A closer look into the results of the numerical analysis of
case S2–Oc shows that the failure of the contact starts in the vicinity
Fig. 7. The effect of the tensile reinforcement ratio. Development of the midspan
deﬂection over time.
Fig. 8. Parametric study on the inﬂuence of the tangential contact stiffness on ﬁre resistance. (a) Time evolution of the midspan deﬂection. (b) Time evolution of interlayer
slip over the length of the beam for plate S2–Oc.
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of the roller support of the beam, and subsequently, within only a
few minutes, expands over the whole contact surface. Note that this
is truly a fast redistribution of the contact loading. After complete
debonding of the contact area has occurred, the separated steel
layer remains to rest on the plate supports for few short moments.
After some time the RC deck again approaches the sheet, eventually
leaning itself on it. At this instant the transverse part of the contact
action is fully recovered. Thus some contribution (although sub-
stantially smaller compared to cases S2–O, S2–Oa, and S2–Ob) of
the sheet to the ﬁre response of the structure is regained. This is
clearly seen from the non-coinciding, yet parallel graphs of S2–O
and S2–Oc for the time domain of the regained contact, i.e. 20 min
rtr70 min in Fig. 8a. Observe also the corresponding difference
between their ultimate ﬁre resistances.
Within the time domain tZ14 min, the midspan deﬂection in
plate S2–Oc is less than the midspan deﬂection in the correspond-
ing plain RC plate (S2–N). This appears to be due to an early failure
of the interlayer connection, observed at about 14 min of ﬁre. The
contact failure has a beneﬁcial effect on the overall slab behaviour,
because the thermal expansion of the steel sheet has no longer a
large effect on the concrete deck.
In Fig. 9 we show the effect of the stiffness of the normal contact
connection. In investigating this effect, the tangential stiffness of the
contact is assumed as being ﬁxed at τcn;t;20;max ¼ 0:59 kN=cm, while in
the normal direction, the contact stiffness is varied from τcn;n;20;max ¼
0:59 kN=cm (case S2–Od) followed by a 10 times higher (case S2–Oe),
a 10 times lower (case S2–Of), and, ﬁnally, by a 100 times lower normal
contact stiffness (case S2–Og). The results for the midspan deﬂection
are displayed in Fig. 9a. Similar conclusions can be drawn as in the
previous study that the normal contact stiffness has only a small effect
both on the deﬂection and on the ultimate structural ﬁre resistance, if it
is sufﬁciently stiff (cases S2–Od, S2–Oe, and S2–Of). If, by contrast, a too
ﬂexible normal contact connection (like in case S2–Og) is designed,
such that the contact fails prior to the bearing capacity of the RC deck is
attained, a substantial reduction of the ﬁre resistance time occurs.
For a better illustration, slips and uplifts evolving between the
layers of the plate with the most ﬂexible normal interlayer connection,
plates S2–Oc and S2–Of, respectively, are shown in Figs. 8b and 9b.
4. Conclusions
In this paper a new fully generalised numerical model has been
proposed and validated for the performance-based ﬁre analysis of
steel–RC composite beam-like structures. The model is generalised
in the sense of employing submodels for all physical phenomena
and their couplings that are at date recognised as potentially
inﬂuential on the ﬁre response of composite structures. The model
accounts for (i) geometrical and material non-linearity, (ii) an
arbitrary contact connection with possible tangential and normal
slips and uplifts, (iii) moisture in concrete and the corresponding
physical and chemical phenomena (mass transfer of water vapour,
dry air, and free water, evaporation, condensation, dehydration
etc.), (iv) a thermal and mechanical damage in concrete, and
(v) material related high temperature phenomena (material hard-
ening/softening, creep etc.). Although some of the adopted mate-
rial constitutive submodels (especially those of hygro-thermal
response of concrete and concrete spalling) are still a matter of
ongoing research and validation studies, the model can be at date
of a use to a broader ﬁre research community for performing
parametric studies. These can explore importance of speciﬁc
physical phenomena for efﬁciency and accuracy of the discussed
performance-based simulations and detect those of them that can
or cannot be neglected in the model or accounted for in a
simpliﬁed manner. Thereby, the model can provide good direc-
tions for further research. An example of such a study was also
presented in the ﬁnal part of the paper showing parametric
investigations of the contribution of the thin steel sheet and of
the stiffness of the steel sheet–RC contact connection to the overall
structural ﬁre resistance of standard trapezoidal steel–RC ﬂoor
slabs. Lacking suitable experimental data from the available
literature, in these studies different values of the contact stiffness
were discussed in the range assumed to be plausible. The results
showed that a high contribution of the steel sheet can be only
expected when the ratio between the tensile stiffness of the
reinforcing bars and the tensile stiffness of the trapezoidal sheet
is low; e.g. for the ratio 0.17, a more than 30% increase in the
ultimate ﬁre resistance time of the plate has been discovered.
Furthermore, the investigation of the effect of the tangential and
normal interlayer contact stiffness has shown the important
feature of the stiffness that when the contact does not fail prior
to the cross-sectional or global structural instability has been
reached, the contact stiffness has practically no inﬂuence on the
shape and the magnitude of the time–deﬂection curve nor it
inﬂuences its ultimate ﬁre resistance time. By contrast, when the
contact stiffness is so small that the contact fails very early, the
contribution of the steel sheet to the structural ﬁre resistance is
reduced substantially. In addition, the failure of contact has been
found to evolve very fast and with an ability to develop fully even
prior to warningly high deﬂections of the plate evolve. For speciﬁc
cases of composite structures, where boundaries of the steel layer
are not supported and where the overheated steel layer may peel
off during ﬁre, the contact failure could, therefore, represent a
threat from the point of view of evacuation and rescue. Along with
Fig. 9. Parametric study on the inﬂuence of the normal contact stiffness on ﬁre resistance. (a) Time evolution of the midspan deﬂection. (b) Time evolution of interlayer
uplift over the length of the beam for case S2–Of.
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these conclusions, the presented parametric study also (i) showed
that, in the calculations of the structural ﬁre response, the
inclusion of the inﬂuence of the thin steel sheet layers can be
important for some cases of steel–RC composite beam-like struc-
tures and, consequently, (ii) pointed out the need for developing
new experimentally supported models of high-temperature
response of steel sheet–RC beam interlayer interactions of such
structures.
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